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Finite element modelling has been applied to simulate various failure modes in ﬁbre metal laminate
(FML) panels under localized high intensity blast loading. A relatively simple material model, based on
continuum damage mechanics, has been proposed to describe the constitutive response of the composite
material in the FMLs. Simulations of the blast response of FMLs with various stacking conﬁgurations has
been carried out, capturing both perforation and non-perforation failure modes. Blast loading was
modelled by a pressure function applied on the front face of the FML panel. The deﬁnition of the pressure
function accounts for both the temporal as well as the spatial distribution of the blast. The capability of
the models has been assessed by comparing the predictions associated with both low and high intensity
blast cases with published experimental data. Good qualitative and quantitative agreement has been
observed for lay-ups with similar proportions of aluminium and composite. It is believed that the models
can be employed for use in parametric studies that would facilitate the adoption of FMLs in wider en-
gineering design.
© 2016 Elsevier Ltd. All rights reserved.1. Introduction
A ﬁbre-metal laminate (FML) is a type of sandwich structure
consisting of alternating layers of metal and ﬁbre-reinforced com-
posite. The particular interest in using these hybrid materials is
linked to their attractive properties, such as high strength/weight
ratio, cost-effectiveness, an ability to tailor material properties, and
good fatigue, impact and corrosion resistance. These attributes
make FMLs suitable for a range aerospace applications [1].
As impact damage is a relatively common failure type in aircraft
structures, the response of FMLs to such form of dynamic loading
has been extensively studied, both numerically and experimentally
[2]. Numerous experimental studies have been carried out to
investigate the inﬂuence of the constituents on the impact prop-
erties of FMLs. Vlot [3] showed that the puncture energies glass
laminate aluminium reinforced epoxy (GLARE), could be higher
than those of aluminium sheets of the same thickness. Abdullahiversity of Liverpool, Brown-
).and Cantwell [4] conducted impact tests on FMLs made with two
different aluminium alloys, and showed that the perforation
resistance was higher for FMLs based on a stronger alloy. Yaghoubi
and Liaw [5] noted that interfacial debonding was inﬂuenced by the
composite stacking sequence of the FML.
For applications in the design of the aerospace structures, FMLs
should also possess an adequate blast resistance to meet the
necessary safety requirements. A number of numerical and exper-
imental studies have conducted to investigate various aspects of
the blast response of FMLs. In particular, Langdon et al. [6,7] un-
dertook an experimental study to investigate the effects of localized
blast loading on both thin and thick FML panels. The authors pre-
sented a systematic account of the large variety of failure scenarios
observed following the tests. In particular, the tests showed that in
thick panels with a high proportion of composite material, one of
the principal failure mechanisms was extensive debonding of the
back face aluminium layer, with the debonded area increasing with
increasing impulse. Numerical modelling of the response of GLARE
panels to the blast loading has been undertaken by Mohamed et al.
[8] and Kotzakolios et al. [9], who used different ﬁnite element
codes in their investigations. Predictions of the mid-point deﬂec-
tion and global deformation, as well as damage in the panels, were
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able level of agreement between the two. These studies, however,
were concerned only with the assessment of the deformation and
the damage modes in the FMLs for cases where perforation of the
panels did not occur.
A critical review of published work on numerical and analytical
modelling of the impact response of FMLs was carried out by
Moriniere et al. [10]. They stated that conducting impact tests on
FMLs is very time-consuming and the experimental results are
typically scattered, meaning that a large number of tests are
required to obtain statistically signiﬁcant data. Therefore, in order
to carry out systematic studies on the impact response of FMLs,
reliable modelling techniques need to be developed and applied to
complement the associated experimental studies.
One of the commonly employed approaches for the numerical
analysis of FML failure is through ﬁnite element (FE) modelling
using commercially-available software packages. In these types of
models, each of the FML constituent materials is assigned an
appropriate material behaviour [8,9,11]. However, modelling the
constitutive response of the composite is not fully established, due
to the complexity of damage initiation/evolution, strain-rate
dependence and failure mechanisms in these materials. Because
of this, simplifying assumptions are often made when describing
the material behaviour of the composite materials in FMLs, such as
treating the thin woven composite as an isotropic layer within the
plane [12]. Many composite failure models are based on a plane-
stress state material response, in accordance with the assump-
tions of Classical Laminate Theory. This can be a limitation in
modelling through-thickness impact damage [8], when high
compressive stresses occur in the material. Gama and Gillespie [13]
proposed a constitutive model that accounts for a strain-rate
dependence and damage evolution in both unidirectional and
woven composites under a 3D stress state. In terms of modelling
the rate-dependent material response, the model has certain lim-
itations, such as the rate-dependency of the material strengths
being prescribed via a single rate scaling coefﬁcient.
The deﬁnition of the blast loading event is yet another issue
when modelling the blast response of FMLs. In many ﬁnite element
software codes, models for the explicit deﬁnition of the explosive
are often available. In some studies on blast failure of FMLs [9,14],
those models were directly applied to deﬁne the blast loading.
Though this provides a reasonable representation of blast loading,
the main drawback of these types of model are the high associated
computational costs, since the explicit deﬁnition of the explosive
also requires deﬁnition of the ﬂuid-structure interaction. Specif-
ically, Soutis et al. [14] simulated the blast failure of a GLARE panel
using two ﬁnite element models. In the ﬁrst model, blast charge
was modelled explicitly, while in the second model it was pre-
scribed via a simpler, but more computationally effective algorithm,
where blast load was deﬁned by a pressure function applied on the
surface of the target. The study showed that the latter approach can
reduce the CPU time by a factor of 10.
Modelling blast loading via a pressure function applied on the
surface of the target has also been adopted in some other studies
investigating blast failure in FMLs [8,11,15], where reasonable
agreement between the observed and simulated responses of the
FML panels were achieved.
In the current paper, blast damage and associated failure are
simulated in FML panels based on various lay-ups subjected to a
variety of loading scenarios. A relatively simple continuum me-
chanics based model is proposed to deﬁne the constitutive
behaviour of the composite. The formulation is applicable for
composites based on a plain weave, an architecture that provides a
superior impact or shock resistance in structures than unidirec-
tional reinforcements [16]. Comparisons with experiments [6,7] arecarried out to assess the predictive capability of the models. In
contrast to previous modelling efforts on this subject [11,15,17],
both perforation and non-perforation modes of failure are
captured, yielding an insight into blast failure in FLMs. Further-
more, the current composite model incorporates the most common
aspects of the dynamic failure process in ﬁbre reinforced compos-
ites, namely, a 3D constitutive behaviour, damage evolution and
rate-dependent characteristics.2. Modelling the constitutive response of FML panels
In this work, a range of ﬁnite elementmodels of FML panels with
various stacking sequences were created and analysed. The ge-
ometry, constituent materials and stacking sequences of these
panels match those used in previous experimental studies [6,7].
The tested panels were based on various stacking sequences of
aluminium alloy 2024-O and woven glass ﬁbre reinforced poly-
propylene (GFPP) composite plies. The stacking sequences of the
panels are referred to using the same AXTYZ notation as was sug-
gested in Refs. [6,7]. Here, the character ”A00 denotes the aluminium
constituent, and ”T00 refers to Twintex™, which is the tradename of
the GFPP composite constituent. Character X signiﬁes the number
of aluminium sheets, Y¼ X  1 deﬁnes the number of composite
layers, with Z being the number of composite plies in each layer.
The mechanical response of each of the FML constituent mate-
rials, i.e. the aluminium, composite and adhesive layer, was pre-
scribed via a relevant material model. Deformation and failure in
the aluminium layers were modelled using Johnson-Cook plasticity
and failure criteria available in Abaqus [18]. The constitutive
response of the layers of adhesive was deﬁned using a traction-
separation description of cohesive elements, which is also avail-
able in Abaqus. A brief summary of the modelling approaches used
is given in the Appendix. However, the composite material model
available in Abaqus is unsuitable for the analysis of the problem
considered here, as it was developed for studying failure in lami-
nated composites based on the unidirectional laminaes and plane-
stress conditions. Therefore, in order to describe blast failure in the
composite, a 3D material model, incorporating both damage evo-
lution and strain-rate effects, was developed and implemented into
the VUMAT subroutine.2.1. Constitutive equations for glass ﬁbre reinforced composite
Themacroscopic constitutive behaviour of thewoven composite
material is considered as being orthotropic. Therefore, the
compliance matrix can be written as follows:
S0¼
2666666664
1
.
E01 n021
.
E02 n031
.
E03 0 0 0
n012
.
E01 1
.
E02 n032
.
E03 0 0 0
n013
.
E01 n023
.
E02 1
.
E03 0 0 0
0 0 0 1
.
G012 0 0
0 0 0 0 1
.
G023 0
0 0 0 0 0 1
.
G013
3777777775
;
(1)
where E0i , G
0
ij and n
0
ij with i,j¼1…3 are the elastic constants and
Poisson's ratios of the undamaged material.
The symmetry of the compliance matrix and consequently the
stiffness matrix, is ensured by imposing the following symmetry
conditions:
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E0i
¼
n0ji
E0j
; i; j ¼ 1::3 (2)
The material properties of the virgin composite material are
given in Table 1. The process of modelling damage is based on a
continuum damage mechanics approach, ﬁrst introduced by
Kachanov [19], who proposed the use of a scalar quantity, called a
damage variable, for quantifying the accumulation of dissipated
damage in isotropic materials. As damage grows, the damage var-
iable increases from zero to unity, where zero describes the virgin
material, and unity deﬁnes complete material failure.
For the case of an anisotropic material, damage accumulation
can vary in different directions, and in order to account for such
damage non-uniformity, a damage tensor, instead of a scalar vari-
able, is commonly used. Here the explicit form of the damage
tensor is chosen to be as follows:
D¼diag

ð1d1Þ1;ð1d2Þ1;ð1d3cÞ1;ð1d12Þ1;
ð1d2Þ1;ð1d1Þ1
 (3)
where the terms di are damage variables, namely, d1 and d2
correspond to failure in the warp and weft ﬁbre directions,
respectively, d3c describes through-the-thickness composite
crushing failure, and d12 ¼ max(d1,d2) refers to in-plane shear
failure. The variables d1 and d2 take different values in tension and
compression and are therefore deﬁned as:
d1 ¼ 1 ð1 d1tÞð1 d1cÞ; d2 ¼ 1 ð1 d2tÞð1 d2cÞ; (4)
where the subscripts ”t” and ”c” denote tensile and compressive
failure, respectively.
In order to account for the inﬂuence of damage on the stress
state, the effective stresses bs are deﬁned, which are related to the
true stresses s as follows:
bs ¼ Ds; s ¼ ½s11; s22; s33; s12; s23;s31T ; bs
¼ ½bs11; bs22; bs33; bs12; bs23; bs31T (5)
With the onset of damage, the strain in the material is deﬁned
as:
ε ¼ S0bs ¼ S0Ds ¼ Ss; (6)
where S is a compliance tensor for the damaged composite. Deﬁned
in this way, Swill have the same form as S0 in Eq. (1) with the elastic
constants for the undamaged material replaced with their
“damaged” counterparts using the expressions given below:
E1 ¼ E01ð1 d1Þ; E2 ¼ E02ð1 d2Þ; E3 ¼ E03ð1 d3cÞ;
G12 ¼ G012ð1 d12Þ; G23 ¼ G023ð1 d2Þ; G13 ¼ G013ð1 d1Þ;
n12 ¼ n012ð1 d1Þ; n13 ¼ n013ð1 d1Þ; n23 ¼ n023ð1 d2Þ
n21 ¼ n021ð1 d2Þ; n31 ¼ n031ð1 d3cÞ; n32 ¼ n032ð1 d3cÞ:
(7)
The expressions for the Poisson's ratios of the damaged material
in Eq. (7) are obtained by assuming that the symmetry of the
compliance tensor is maintained during all of the stages of damage.
Hence, the symmetry conditions in Eq. (2) should also hold for theTable 1
Composite material parameters [11].
r (kg/m3) E1, E2 (GPa) E3 (GPa) n12 n23, n13 G12 (GPa) G23, G13 (GPa)
1800 13 4.8 0.1 0.3 1.72 1.69damaged material.
Finally, the stiffness matrix of the damaged material, C, can be
obtained by inverting the compliance matrix S, and therefore, the
stress-strain dependence of the damaged material becomes:
s ¼ S1ε ¼ Cε (8)
Eqs. (7) and (8) form the damage representation of the current
problem. This formulation needs to be supplemented with damage
initiation criteria and damage evolution laws in order to fully
describe the failure processes in the composite.
2.2. Damage initiation criteria
The damage initiation criteria are a set of conditions which, once
satisﬁed, trigger the evolution of damage. Five different failure
conditions are considered in order to account for various damage
modes. Tensile-shear failure criteria, similar to the ﬁbre failure
criteria [20] were used to describe the damage initiation conditions
in the warp and weft ﬁbre directions, as follows:
f1t ¼
 bs11
sr1t
!2
þ z
 bs12
sr12
!2
þ
 bs31
sr31
!2
 1  0; s11 >0; (9)
f2t ¼
 bs22
sr2t
!2
þ z
 bs12
sr12
!2
þ
 bs23
sr23
!2
 1  0; s22 >0; (10)
where the coefﬁcient z ¼ 0:1 controls the contribution of the shear
component. Under shear loading, the material exhibits a plastic-
like response, which becomes non-linear at low values of stress,
while ultimate failure occurs at high values of strain [22]. Since
shear nonlinearity is not incorporated in the present model, to
prevent premature predictions of failure, due to the contribution of
shear component, its value was scaled down.
The remaining three damage modes deﬁne damage under
compression in the warp, weft and through-the-thickness direc-
tion. These are described by the maximum stress criteria as:
fic ¼
 bsii
sric
!2
 1  0; sii <0; i ¼ 1;2;3 (11)
The properties srab, ab ¼ 1t,1c,2t,2c,3c,12,23,31 in Eqs. (9e11) are
the damage initiation stresses. In order to represent the dynamic
material response, the strain-rate dependency was assigned to
them as follows [13,23]:
srð _εÞ ¼ ss

1þ Rln j _εiij
_ε0

; (12)
where ss is a static strength and R is a strain-rate constant. Their
values are given in Table 2. The same reference strain-rate value,
_ε0 ¼ 1 s1, has been used for all failure modes. It is worth noting
that the in-plane strain-rate scaling factors, Ri, as speciﬁed in
Table 2, were determined experimentally by Brown et al. [22] for
this particular composite material, Twintex. The out-of-plane
scaling factors were not available, hence, as a conservative mea-
sure, the out-of-plane strengths were assigned with a very low
strain rate sensitivity, in order to avoid over-estimating the blast
resistance of the FML panels.
2.3. Damage evolution
To model the evolution of the damage variable, the formulation
proposed by Iannucci [24] was adapted. In Ref. [24] damage
Table 2
Composite material strength values and strain-rate coefﬁcients.
sr1tð _ε11Þ, sr2tð_ε22Þ sr1cð _ε11Þ, sr2cð _ε22Þ sr3cð _ε33Þ sr12ð_ε12Þ sr13ð _ε13Þ, sr23ð _ε23Þ
ss, MPa [11,21] 300 200 300 40 120
R [22] 0.089 0.181 0.005 0.061 0.005
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the present study it was further simpliﬁed to allow for the direct
calculation of the total value the of damage variable at each time
increment. At the onset of failure, the damage variable for the
corresponding failure mode was calculated as follows:
dit ¼ a1fit ; if fit  0; Dεii >0; i ¼ 1;2
dic ¼ a2fic; if fic  0; Dεii <0; i ¼ 1;2
d3c ¼ a3f3t ; if f3t  0; Dε33 <0;
(13)
Parameters a1 - a3 in Eq. (13) govern the rate of growth of the
damage variable. The values of the parameters were determined via
a parametric study, where the values of a1 - a3 were varied, whilst
the remaining parameters were kept ﬁxed. The predictions were
compared with the deformation and failure modes observed
experimentally. Speciﬁcally, the deformationmodes in panel A2T18
at the applied impulse of I ¼ 6.17 Ns, predicted with two different
sets of damage coefﬁcients, are shown in Fig. 1(a) and (b). In the
ﬁrst case, the values of the parameters were set to zero, assuming
instant failure in each mode. As can be seen, perforation failure was
predicted, which is not consistent with the behaviour observed
experimentally, where the panel was not perforated. With value of
the coefﬁcient a1, associated with in-plane tensile/shear damage of
the panel, being set to 0.2, there is closer agreement between the
predicted and the experimental response, however, the back face
deﬂection was still substantially overestimated. Based on the
similar analyses of a number of loading cases, the values a1 ¼ 0.2,
a2¼ 2.0, a3¼ 1.0 were determined to be appropriate for most of the
cases. It is worth noting that ai are regarded as the material prop-
erties. Therefore, their values can be different if different material
system is used. In absence of the established experimental tech-
niques for determining these properties, calibrating their values
based on experimental data might be the only method available at
present. However, the study conducted suggests that only a few
experiments should be required to calibrate the values of ai for any
given material system.
Additional conditions on the strain increments, Dε, were
imposed in Eq. (13) in order to ensure that damage evolution takes
place only at increasing absolute values of strain.
2.4. User-deﬁned subroutine implementation and single element
model predictions
The progressive failure model introduced in previous sections
was implemented into the main Abaqus program, through a
VUMAT subroutine. The structure of the subroutine is shown in
ﬂowchart form in Fig. 2.
For element deletion, a conservative approach has been adop-
ted, namely, the element is considered to have failed and isFig. 1. Deformation of panel A2T18 at I ¼ 6.17 Ns calculated using different valuesremoved from the mesh when a damage variable associated with
any mode of damage reaches a critical value, umax ¼ 0.95. This is to
avoid excessive distortion of elements caused by a stiffness
reductionwhen complete damage is reached in one mode, which is
a common problem in the explicit analysis.
To verify the implementation of the composite failure model,
typical material responses were calculated based on a single
element model. The plots, shown in Fig. 3(a) and (b), were obtained
for uniaxial loading in the 1-direction and the through-thickness
direction, respectively. The load was applied at a constant strain
rate, and four such loading cases were considered. In both cases, the
damage initiation stress increased with strain rate. For the in-plane
tensile damage mode, at the high strain rates, a pronounced non-
linear behaviour beyond damage initiation was observed, and the
stress, as well as the strain, reached higher maximum values,
indicating the enhanced reactive material response at the higher
strain rates. This effect was less pronounced for the though-
thickness damage mode, for which the strain rate scaling coefﬁ-
cient was lower. Also, in this case, a higher value of the parameter
a2 governing the growth of the damage variable has been used,
which in turn leads to a more rapid degradation of stiffness.3. Modelling blast loading on the FMLs panels
3.1. Finite element model of the panel
The ﬁnite element model of the panel is identical in terms of
geometry to that described by Sitnikova et al. [17], formed on the
basis of two earlier studies [11,15].
A quarter of the FML panel was modelled, with appropriate
symmetry and boundary conditions applied, as shown in Fig. 4. In
the experiments [7], the mean thickness of each panel tested was
measured. During the manufacture, the thickness of the panel
could not be precisely controlled, hence there were small variations
in the panel thickness in each FML. Here, the same average thick-
ness valuewas assumed for all the panels based on the same lay-up.
The aluminium layer thickness of 0.6 mm and thermoplastic
interlayer thickness of 0.05 mm (assumed) were kept constant for
all of the FML lay-ups. The composite layer thickness was calculated
by subtracting the total aluminium and cohesive layer thickness
from the measured average panel thickness and dividing it by the
number of composite layers. The calculated composite layer
thickness in each FML lay-up, along with the average panel thick-
nesses are presented in Table 3.
A 3D constitutive behaviour was considered for all the constit-
uent materials. Hence, 8-noded solid elements, with reduced
integration (C3D8R), were used to mesh the aluminium layers and
composite plies. The cohesive layers were meshed using C0H3D8of damage coefﬁcients a1 - a3: (a) a1 ¼ a2 ¼ a3 ¼ 0; (b) a1 ¼ 0.2, a2 ¼ a3 ¼ 0.
Fig. 2. Flowchart of the VUMAT subroutine for calculating the blast response of the
composite material.
Fig. 3. Composite constitutive behaviour at different strain rates obtained for a single elem
curves under compression in 3-direction.
E. Sitnikova et al. / Composites Science and Technology 135 (2016) 1e12 5elements. A biased mesh was generated outside the central
60 60 mm area of the panel, where a ﬁner mesh size of 1 1 mm
was used [17]. A general contact interaction was deﬁned on both
the exterior and interior faces of the contacting composite and
aluminium layers to address possible contact scenarios after the
cohesive layer fails.3.2. Modelling of the applied blast pressure
Blast loading acting on FML panels was modelled as a surface
pressure applied to the front face aluminium sheet. The pressure is
a function of time t and distance r from the panel centre, and its
explicit expression was proposed as [11]:
Pðr; tÞ ¼ P1ðrÞP2ðtÞ (14)
An example of a spatial pressure distribution plot is shown in
Fig. 5(a), and its explicit expression can be written as follows [11]:
P1ðrÞ ¼
8<:
P0 if r  r0;
P0e
kðrr0Þ if r0 < r  rb;
0 if r> rb;
(15)
Here r0 ¼ 0.015 m is the radius of the explosive, k ¼ 130 m1 is
the decay constant, and rb ¼ 0.1 m is the radius of the area around
the explosive, beyond which the pressure can be considered
negligibly small.
The pulse-time history plot is shown in Fig. 5(b), and is
expressed as
P2ðtÞ ¼

t=t if t  t;
ebðttÞ=t0 if t > t:
(16)
where t*¼10 ms and t0¼ 60 ms are the time constants and b¼ 2 is an
exponential decay parameter. The temporal distribution of blast, as
proposed in Refs. [17,25] was adopted here. It was suggested in
Refs. [17,25] that prior to an exponential decay, the pressure in-
creases linearly over a short time interval. This provides a more
physical representation of the blast loading process, allowing the
material to react to the applied pressure, rather than provide an
instant response.
Next, the total blast impulse I was calculated as
I ¼ 2p
Z∞
0
Zrb
0
rPðr; tÞ dr dt; (17)
An explicit expression for calculating the pressure amplitude is
obtained from Eqs. (15e17) as follows:ent FE model: (a) stress-strain curves under tension in 1-direction; (b) stress-strain
Fig. 4. FE model of A3T22 panel: (a) symmetry and boundary conditions; (b) in-plane mesh; (c) through the thickness mesh.
Table 3
Thickness of composite layers in FML lay-ups.
Lay-up A2T12 A2T14 A2T18 A3T22 A3T24 A3T28 A4T32 A4T34 A5T42
Average panel thickness,mm 2.37 3.37 5.56 4.11 6.12 9.75 5.82 8.64 7.43
Composite layer thickness, mm 1.07 2.07 4.26 1.05 2.06 3.88 1.04 1.98 1.01
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I
p ðt0 þ tÞ
"
r20
2 þ 1k

r0 

rb þ 1k

ekðrbr0Þ þ 1k
# (18)
The magnitudes of Iweremeasured in the experiments [6,7], for
all of the loading cases. This allows for the direct calculation of the
pressure amplitude, P0, for each loading case. The loading function,
as described here, was implemented through a VDLOAD user-
deﬁned subroutine.
4. Numerical results and discussion
4.1. Comparison of the failed FML panels with numerical predictions
Using the FE models described above, the blast responses
associated with a number of loading cases were calculated for
different FML lay-ups. To validate the accuracy of the numerical
predictions, a comparison with the experimental results reported
in Refs. [6,7] was carried out. In these experiments, the deformation
and failure patterns in the various FML lay-ups were presented in
the form of digital images of the front and back faces [7] and cross-
sections through the centre of the panel [6]. Additionally, the
maximum residual displacement, umax, of the back face, was
measured for cases where the FMLs did not fail in a perforation
mode. In order to obtain the residual displacement values, the
calculations were run until the time reached 0.005 s, which was
sufﬁciently long for the panel to numerically recover from the blast.
The predicted displacement contour plots are presentedFig. 5. Pressure pulse for P0 ¼ 200 MPa, k ¼ 130 m1, r0 ¼ 0.015 m, t*¼10alongside the experimental images, and the calculated residual
displacements were compared with the measured values, in cases
where such data was available. To facilitate comparisons of the
deformation and failure modes, an Abaqus post-processing tool
was used to reﬂect the quarter panels with respect to their planes of
symmetry.
In Fig. 6, the calculated displacement contour plots are
compared with the experimental panels for the A2T1Z conﬁgura-
tion series. The panels contained two aluminium layers and one
composite layer comprised of 2, 4 or 8 plies. For the thinnest panel,
A2T12, perforation failure was predicted at I ¼ 10.34 Ns, and the
rupture and outward petalling around the circumference of the
perforation hole was captured in both the front and back face
aluminium layers. For the A2T14 panel, large global inelastic
deformation of the panel was predicted for an impulse I ¼ 5.89 Ns,
and there is a good agreement between the measured and pre-
dicted residual back face displacements. Similarly, good agreement
between the measured and calculated back face displacement was
obtained for A2T18 panel at I¼ 6.17 Ns. Because of presence of a the
thicker composite core, this panel is stiffer than the A2T14 panel,
hence the global deﬂection of the panel (i.e. the global inelastic
deformation of the panel) is relatively small, and the maximum
back face displacement is smaller than that in the A2T14 panel. The
central displacement was associated with debonding and plastic
deformation of the rear face in the centre of the panel. Finally,
perforation failure in the A2T18 panel was predicted at I¼ 10.19 Ns.
Comparing the contour plot of this panel with that of the A2T12
panel at I ¼ 10.34 Ns, it is clear that, although the applied pulses
were very similar, failure in A2T18 is more localised, and the globalms and t0 ¼ 60 ms: (a) spatial pressure distribution; (b) time history.
Fig. 6. Comparison of the predicted displacement contour plots with the experimental data [6] for panel lay-ups with two outer aluminium layers and a composite core of
increasing thickness over a range of the blast impulses.
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ness properties of the A2T18 panel are higher than those of the
A2T12 FML. These simple observations, as well as the good agree-
ment between the measured and calculated back face displace-
ments, serve as the initial check on the validity of the FE model.
Next, contour plots of the AXTY2 panel conﬁguration were
compared with the cross-sections of the test panels, as shown in
Fig. 7. These lay-ups had between 2 and 5 aluminium layers,
whereas each composite layer consisted of two plies. These panels
had similar proportions of aluminium and composite [7], with the
aluminium weight fraction reducing from 48% in the A3T22 lay-up
to 45% in the A5T42 panels. Once again, for all the loading cases
considered here, good agreement between the predictions and the
experimental results is evident, in terms of the calculated back face
displacement, as well as the deformation and failure modes of the
panels. In particular, multiple debonding between the aluminium
and composite layers in the centre of the panel was captured for the
A5T42 FML panel at I ¼ 14.7 Ns. However, the model tends to un-
derestimate the residual displacement as the number of the con-
stituent layers increases, i.e. the thickness of the lay-up increases.
As theweight fraction of composite in the panels increases with the
panel thickness, the contribution of composite failure to the
deformation and failure of the panel becomes more signiﬁcant. A
composite model with a conservative criterion for element dele-
tion, as used here, is expected to provide a prediction of premature,
hence overestimated, failure. It has been shown previously [17] that
failure of the composite affects the deformation and damage
development process in the adjacent constituent layers and
consequently the entire panel. Furthermore, relation between the
debonding of the back face and the deformation of composite layers
has been observed in the experiments [7], where the weave
orientation in the composite has shown to affect the debonding
pattern on the back face. Therefore, the predicted early failure ofthe composite inevitably inﬂuences prediction of the extent of back
face debonding and deformation, hence the residual displacement
of the back face.
This also explains the predicted premature failure of the back
face aluminium layer in the A3T24 FML panel at an applied impulse
of I ¼ 10.58 Ns, as shown in Fig. 8, where the displacement contour
plots for this FML for four loading cases are presented. In all cases,
reasonable agreement between the predictions and the experi-
mental results has been obtained for the A3T24 FML. At the same
time, the model tends to overestimate the global deﬂection and
failure threshold of this panel. Speciﬁcally, at I ¼ 3.76 Ns, little
global panel deﬂection and a small central back face debonded
region occurred during the test, while the debonding was not
captured in the simulations. In addition, a larger global panel
deﬂection was predicted. At I ¼ 7.85 Ns, the observed back face
debonding in the centre of the panel was captured numerically.
However, in the simulations, the cross-section of the debonded
back face was of a rounded ”dome-like” shape, while in the test
panel it took a triangular form. At I ¼ 10.58 Ns, a small indentation
in the front face aluminium layer and a localised region of damage
in the inner composite and aluminium layers were observed
experimentally, while in the simulations, the predicted damaged
area of the composite layers was noticeably larger. By analysing the
images of the tested FML panels with a similar damage mode, it
became clear that the indentation in the centre of the front face
aluminium layer occurred due to the high intensity of loading
applied in this area. Indeed, in the experiments, the detonator was
attached to the centre of the disk of the explosive using a 1 g mass
of explosive. For small charges, this can constitute up to one third of
a total mass of the explosive. It is likely that this type of failure
cannot be reproduced by the models used here, where a constant
pressure is applied over the whole area of explosive. Finally, at
I ¼ 16.19 Ns the model captures the perforation failure mode, yet
Fig. 7. Comparison of the predicted displacement contour plots with the experimentally observed deformation [6] of FML panels of A2T1Z conﬁguration series.
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Similar observations can be made when analysing the predicted
failure modes in the FML lay-up A4T34, for which three loading
cases were simulated, as shown in Fig. 9. In particular, at I¼ 7.01 Ns,
the predicted global deﬂection of the panel was larger than that in
the experiment. At I ¼ 11.84 Ns, debonding of the back face was
captured by the model, yet the debonded area was smaller than in
the experiment. Once again, a rounded shape on the debonded
back face was predicted, this being in contrast to the triangular
shape observed experimentally. It is interesting to note that, for this
loading case, a failure mode has been predicted, that has not been
captured in any of the previous analyses [15,17], this being the
debonding of the front face aluminium layer and the formation of a
”crater-like” damage pattern, which was described in Ref. [7]. This
failure mode occurred mainly in the panels with over 16 constitu-
ent layers (aluminium sheets and GFPP plies). Based on a visual
inspection of the residual deformation in the panels, this effect was
explained by in-plane compression and buckling of the front layers
[7]. It was noted that since the global residual displacement of the
front face layer was small, and the bending resistance of the thick
panels is high, in-plane compression is the most likely cause for
buckling of the front face layer. However, analysis of the predicted
transient response of the panels suggests a different scenario of a
”crater-like” front face damage formation. The transient response of
the FML panel A4T34 at I ¼ 11.84 Ns is presented as a series of
contour plots of the in-plane stress s22 in Fig. 10. At t ¼ 0.1 ms
(Fig. 10(a)), a localised panel deﬂection over the blast area occurred,
where the deﬂections of the front and the back layer were of asimilar magnitude. As a result, stretching and plastic deformation
of the aluminium sheets occurred. As the stress wave propagated
towards the boundary of the plate, global panel deﬂection occurred,
as shown in Fig. 10(b). At this point, the plastically-deformed front
and back face aluminium layers are debonded from the adjacent
composite layers. The maximum panel deﬂection is achieved at
t ¼ 0.7 ms (Fig. 10(c)), after which the panel began to recover its
elastic deformation. During the recovery phase, the composite
layers ”forced” the front face aluminium sheet to buckle, as shown
in Fig. 10(d).
Finally, two loading cases were simulated for the A3T28 FML
lay-up, which are shown in Fig. 11. The ”crater-like” front face
damage pattern was predicted in both cases, and an analysis of the
transient responses conﬁrmed that it developed in the sameway as
described above. Themodel captured the back face layer debonding
at I¼ 12.43 Ns, and perforation failurewith the outward petalling of
the back face aluminium layer for a blast impulse I ¼ 18.99 Ns. This
lay-up has the highest volume fraction of composite amongst all
the panel conﬁgurations considered here. Therefore, the effects of
the premature composite failure are the most pronounced for this
lay-up. In particular, for a blast impulse I ¼ 18.99 Ns the predicted
size of the perforation hole in the centre of the panel was over-
estimated as compared to that in the test panel. Similarly, the over-
prediction of the perforation hole size also occurred in panels
A3T24 at I ¼ 16.19 Ns (Fig. 8) and A4T34 at I¼16.63 Ns (Fig. 9). By
analysing the images of the test panels, it is clear that the size of the
perforation hole is smaller than the diameter of the explosive disk.
This reduction in the perforation hole size at high charges cannot be
Fig. 8. Comparison of the cross-sections of the deformed FML panel A3T24 over a range of the blast impulses.
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in Eq. (15) is assumed to be the same for all the loading cases. In the
simulations, the uniform pressure applied in the centre of the panel
inevitably causes deformation and crushing of composite and
aluminium layers over an area that is equal to the size of explosive
disc, which leads to an over-estimation of the failure zone in this
region. Previous work on blast failure in sandwich panels 25 sug-
gests that the pressure distribution may be non-uniform over the
area of the explosive disk. Altering the spatial distribution of the
pressure function was not the objective of the current research,Fig. 9. Comparison of the predicted displacement contour plots with the cross-secthowever, parametric studies with the FML panel models as pre-
sented here can be instrumental in determining the loading func-
tion parameters that more accurately describe the pressure
distribution at high charges.
One of the most distinctive modes of failure in the FMLs,
observed in most of the loading cases, was debonding between the
layers of composite and metal. A quantitative assessment of this
mode of failure was conducted by Lemanski at al. [26], who used an
average debonding length to estimate the extent of this failure
mode in different loading cases. Speciﬁcally, the average debondingions of the deformed FML panel A4T34 [6] over a range of the blast impulses.
Fig. 10. Transient response of the A4T34 panel at I ¼ 11.84 Ns presented as in-plane stress, s22, contour plots at (a) t ¼ 0.1 ms, (b) t ¼ 0.4 ms, (c) t ¼ 0.7 ms, (d) t ¼ 1.4 ms.
Fig. 11. Comparison of the calculated contour plots with the experimentally observed deformation and failure of FML panel A3T28 [6].
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calculated as follows [6,26].
lavg ¼ 1N
XN
i¼1
li
L
 100% (19)
where li is the length of the debonding at each interface, N is theFig. 12. Measurement of the length of the debonding at metal-composite interfaces (plot
A3T24 FML lay-up and (c) A4T34 FML lay-up.number interfaces, and L is the width of the undeformed panel. The
length of debonding at each interface was measured on the cross-
sectional images of the panels, as shown schematically in Fig. 12(a).
The assessment has shown that the average length of the
debonding tends to increase with applied impulse in most of the
cases. Here, the same trend was reproduced numerically, by
measuring the debonding lengths predicted in the simulations, and
then calculating lavg using Eq. (19). Comparison of the obtained(a)) and comparison of the calculated and measured average debonding length in (b)
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panels in Ref. [26] is shown in Fig. 12(b) and (c) for A3T24 FML lay-
up and A4T34 FML lay-up, respectively. As can be seen, the calcu-
lated data not only reﬂects the experimental trend of the increase
of the average debonding length with the impulse, but there is also
a reasonably good agreement, particularly at low values of the
impulse.
5. Conclusions
A numerical study on the blast response of FML panels has been
presented. Finite element modelling of panels based on various
stacking conﬁgurations has been carried out using the commercial
software package Abaqus/Explicit. Here, a relatively simple con-
tinuum mechanics-based material model for the composite has
been proposed and implemented into the main program through a
user-deﬁned subroutine. The model incorporates 3D constitutive
behaviour, a damage evolution law and rate-dependency of the
composite material.
Comparisons of the numerical predictions with published
experimental data has shown that themodel is capable of capturing
the observed deformation and damage modes with a good degree
of accuracy.
A systematic assessment of the predicted modes of deformation
and damage for a variety of the loading cases has been carried out.
It has shown that the predictive capability of themodels reduces for
panels with a larger number of constituent layers. One of the rea-
sons behind this is the conservative criterion for element deletion
in composite, resulting in over-estimation of the failure of com-
posite layers, which in turn affects the deformation and damage in
the adjacent aluminium and cohesive layers.
In simpler loading cases, however, the predictions from the
models are entirely reasonable and accurate. For such cases, the
models can be used in their current form to undertake parametric
studies that consider varieties of FMLs made with various constit-
uent materials, provided that the choice of the material properties,
speciﬁcally, the damage-related parameters, is reasonable, so that
the blast resistance would not be over-estimated.
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Appendix
A. Aluminium material modelTable A.1
Material parameters for the aluminium alloy.
Elastic parameters [11] Johnson-Cook plasticity parameters [17] Failure constants [27]
r (kg/m3) E (GPa) n A (MPa) B (MPa) n C _ε0, s
1 d1 d2 d3 d4
2690 73.1 0.3 76 210 0.4 0.05 1 0.13 0.13 1.5 0.011
Table B.1
Cohesive layer properties.
General properties Maximum
nominal stresses
Fracture energies
r (kg/m3) En
(GPa)
Es, Et
(GPa)
t0n
(MPa)
t0s , t
0
t
(MPa)
Gcn
(J/m2)
Gcs ,G
c
t
(J/m2)To model the rate-dependent behaviour of the aluminium
layers, Johnson-Cook plasticity and damage initiation criteria, along
with the linear evolution of the damage variable with effective
plastic displacement, as available in Abaqus [18], were used. When
temperature effects are neglected, the appropriate expressions
become:s ¼
h
Aþ B

εpl
ni"
1þ C ln
 
ε
_
pl
_ε0
!#
; (A.1)
ε
pl
D ¼ ½d1 þ d2expðd3p=qÞ
"
1þ d4 ln
 
ε
_
pl
_ε0
!#
; (A.2)
where s is the rate-dependent yield stress, εpl is the equivalent
plastic strain, A, B and n are material parameters, C and _ε0 are the
strain-rate constant and the reference strain rate, respectively. In
Eq. (A.2), εplD is the equivalent plastic strain at the onset of damage
and d1 - d4 are failure parameters. The material properties for the
Al2024-O alloy are summarized in Table A.1. Since d1 - d4 for
Al2024-O are not available in the literature, the values for Al2024-
T3 [27] were used instead.B. Cohesive material model
The constitutive response of the cohesive layers is described in
terms of traction versus separation. Damage initiation is deﬁned by
a quadratic nominal stress criterion, which is written as follows:(
htni
t0n
)2
þ
(
ts
t0s
)2
þ
(
tt
t0t
)2
¼ 1; (B.1)
where 〈x〉 ¼ ðjxj þ xÞ=2 is a Macaulay bracket, tn, ts and tt are the
current normal and shear stresses, and t0n , t
0
s and t
0
t are the peak
nominal stresses in the appropriate directions.
Damage evolution is deﬁned via a power law as follows:
Gn
Gcn

þ

Gs
Gcs

þ

Gt
Gct

¼ 1; (B.2)
where Gn, Gs and Gt denote thework done by the tractions and their
conjugate relative displacements in the normal and the two shear
directions, and Gcn, G
c
s and G
t
n are their associated critical fracture
energies. The cohesive interface parameter values are speciﬁed in
Table B.1. These are similar to the cohesive element material pa-
rameters deﬁned in Ref. [28], where the low velocity impact
response of composite laminates has been studied. Based on the
assessment of the average debonding on the metal-composite in-
terfaces, this is likely to be a conservative estimate of the param-
eters, since the models tend to overestimate the extent of the
debonding at the interfaces. The stiffness and density parameters
were scaled to the thickness of the cohesive interface, which in the
present study was equal to its geometric thickness.920 10 4 70 100 300 700
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